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ABSTRACT 

Creep-fatigue-interaction behavior is dominant in steam 

turbine rotors during the startup, steady state operation and 

shutdown phases, and steady state dwell time length is one of 

most important factors in power plant operation. Thus, the 

creep-fatigue-interaction behavior of steam turbine rotors 

under different dwell times was numerically investigated. 

Toward this end, continuum damage mechanics (CDM) was 

used to describe the coupling of creep and fatigue damage, 

and a CDM-based viscoplastic constitutive model was 

presented to describe creep-fatigue-interaction behavior. 

Uniaxial and multiaxial creep-fatigue tests were also 

conducted to validate the material model. Good agreement 

was achieved between the simulated and measured results. 

Further application of the material model to the steam turbine 

rotor illustrated that thermal stress dominated structures were 

sensitive to fatigue behavior, which easily accelerated the 

damage development. Moreover, thermo-mechanical load-

dominated structures sustained damaged from the creep 

behavior much more easily. Thus, controlling the dwell time 

length significantly influenced the creep-fatigue-interaction 

behavior of the steam turbine rotors. 

INTRODUCTION 

As steam pressure and temperature increase, the viscous 

properties within the plastic range play an important role in 

the creep behavior of steam turbine components. 

Furthermore, the electricity market’s increasing demand for 

frequent startup-shutdown and the intermittent operation of 

large-capacity power plants pose continuous challenges to 

the safe operations of complex components, e.g., steam 

turbine rotors, under creep-fatigue-interaction behavior. 

Hence, steam turbine rotors suffer not only from the rapidly 

induced damage that results from the startup and shutdown 

cycles, but also from creep damage under sustained loading. 

When the rotors operate long term under full load conditions, 

the demand for more flexible operation determines the 

significance of dwell time length to the creep-fatigue-

interaction behavior. Moreover, simultaneous creep and 

fatigue prompts consideration of the interaction between 

creep and fatigue behavior in a more accurate analysis of 

component strength. Thus, analytical predictions of dwell 

time’s effect on structural strength under creep-fatigue-

interaction behavior are of great practical importance in the 

design of steam turbine rotors. 

Numerous studies have attempted to determine dwell 

time’s effects the creep-fatigue behavior of components. 

Stubbington and Pearson1 indicated that while the 

commercial aviation industry experienced distinct failures 

such as disk bursts due to dwell time effects, creep-fatigue 

interaction was typically the cause of failure among power 

plant components (Stubbington, 1978). Goswami and 

Hanninen (2001) thus experimentally studied the different 

effects of dwell time on high-temperature fatigue behavior 

and damage. Zrnik et al.(2001) experimentally investigated 

the influence of hold time on the deformation behavior of 
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and damage to a superalloy in creep-fatigue loading 

conditions. Further investigation of the dwell effects on 

fatigue crack growth in superalloys was experimentally and 

numerically conducted by Wei and Huang (2002). Lu et al. 

(2005; 2006) also imposed hold times in the range of 3 s to 5 

h at maximum load to study the influence of hold time on the 

crack-growth behavior of a superalloy. The results showed 

that the hold time led to a decrease in fatigue life, and the 

rate of crack growth increased continuously with increases in 

the hold time. Shi et al.(2010) studied the creep-fatigue 

interaction behavior of a nickel-based superalloy with 

varying dwell times and found that the creep-fatigue-

interaction test life was about 70% less than the life of LCF 

tests under the same strain range at 850°C. The influence of 

high-temperature hold time on the growth and propagation of 

fatigue cracks in Inconel 718 has been experimentally and 

numerically studied in detail (Gustafsson et al., 2010; 

Gustafsson et al., 2011; Moverare et al., 2011). Recently, Liu 

et al.(2014) proposed a trinomial superposition model 

accounting for the interactive effects of creep fatigue. This 

model was validated by experiments on fatigue crack growth 

using 0 s and 90 s dwell times at different elevated 

temperatures on a nickel-based superalloy. The results 

indicated that the model could well predict crack growth. In 

summary, dwell time can range from a few seconds for 

aircraft structures to several minutes or hours for gas turbine 

disks and several days or weeks for power plant components 

(Goswami et al., 2001, 2002). In laboratory tests, dwell 

periods have been applied to demonstrate the interactions 

between two or more mechanisms. However, steam turbine 

rotors have complex structural features, and a large variety of 

multiaxial stress states can be produced by transient 

temperatures and variable centrifugal force loading due to 

their rotation. Complete tests under actual long-term 

operation cannot be conducted in the laboratory. Thus, the 

numerical study of dwell time’s effects on steam turbine 

rotors is necessary when designing steam turbines. 

Due to the changing nature of the electricity market in 

Asian countries, the large-capacity power plants have been 

forced to operate in a more cyclic manner than originally 

intended. Creep-fatigue-interaction behavior is considered to 

be a critical loading condition for the investigation of high-

temperature rotor behavior. Thus, a suitable constitutive 

material model that can accurately predict creep-fatigue 

interactions (Abdullah, 2012; Remy et al., 2013) is highly 

desirable for use in the design of high-temperature 

components. In terms of studies on stress-strain behavior, the 

popular Chaboche constitutive model is suitable for 

analyzing a range of small, inelastic strains in metals at high 

temperatures (Ambroziak, 2005). Efforts have been made 

over the past few decades to improve Chaboche’s 

(Chaboche, 1989) elasto-viscoplastic constitutive equations 

with the goal of developing realistic mathematical 

constitutive equations (Ambroziak and Klosowski, 2007). 

Recently, the authors (Wang et al., 2015) provided detailed 

descriptions of the constitutive models available, especially 

the constitutive equations based on the Chaboche model. 

Although the experimental data validate most stress-strain 

behavior, the model is not good at predicting the cyclic 

softening behavior following crack initiation and 

propagation, as it considers the calculations of fatigue 

damage and creep damage separately, overlooking their 

interactions.  

Continuum damage mechanics (CDM) has been widely 

used for decades to determine material failure under creep, 

fatigue and in some creep-fatigue interaction processes 

(Lemaitre and Chaboche, 1990). Ductile transgranular or 

brittle intergranular fracturing are regarded as the causes of 

time-dependent creep failure at high temperatures 

(Kachanov, 1986), and time-independent fatigue failure 

usually occurs due to crack initiation and propagation. Both 

are in fact caused by a decrease in cross-sectional stiffness 

due to a reduction of the effective cross-sectional area 

(Lemaitre, 1996). Accordingly, creep-fatigue interaction can 

lead to a significant reduction in lifespan. Dunne and 

Hayhurst (1992) also demonstrated that the separate analysis 

of creep and fatigue behavior within a creep-fatigue 

interaction may not reliably predict the processes involved. 

Much effort has been expended in recent decades to develop 

solutions to the problems modeled by CDM, such as creep, 

fatigue and creep-fatigue interaction (Jesus et al., 2005; 

Lemaitre and Desmorat, 2005; Mashayekhi et al., 2012). 

In the present study, a continuum damage accumulation-

based elasto-viscoplastic model is proposed to improve the 

influence of damage variables on the stress-strain calculation. 

It is further validated through experimental measurements 

relating to creep and fatigue behavior. The steel used is 

X12CrMoWVNbN10-1-1. Subsequently, the rotor of a 1000 

MW supercritical steam turbine is used. Iteration of the 

continuous startup, steady state operation and shutdown 

phases is adopted as the creep-fatigue-interaction loading 

type, and only the dwell time length (steady state operation 

phase) is changed for two cases: 1) one iteration per month 

and 2) one iteration per four months. This comparative study 

of dwell time’s effects on the creep-fatigue-interaction 

behavior of a steam turbine rotor is numerically performed in 

terms of temperature, von Mises stress, accumulated plastic 

strain, fatigue damage, creep damage, and total damage. 

 

MATHEMATICAL MODEL 

Damage model 

In a damaged body, we consider a volume element at 

macro-scale, which is of a size large enough to contain many 

defects with different forms, e.g., cavities and cracks. Let  

𝐴𝑟 the area of a section of the volume element, and 𝐴𝑟
∗  the 

effective resisting area. Thus, 𝐴𝑟
∗ is 𝐴𝑟 gradually diminished 

from the surface intersections of the micro-cracks and 

cavities and corrected for the stress concentrations and 

interactions. Based on the hypothesis of isotropy – cracks 

and cavities are equally distributed in all direction, the 

isotropic intrinsic variable D is defined as, 19 
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In this study, the process of microcrack healing during the 

cyclic loading sequence is not taken into consideration. 

Lemaitre and Chaboche19 mentioned the physical 

phenomena which occur at the microstructural scale are 

complex, thus interaction effects of creep and fatigue damage 

is limited here to a macroscopic. Using 𝐷𝑐  to represent 

creep damage, which evolves over time under stress, and   

𝐷𝑓 to represent fatigue damage, in which defects generally 

start at the surface and progress across the crystal, creep-

fatigue interaction effects can be expressed macroscopically 

by introducing the couplings, 
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where Δε , 𝑇  and 𝜎𝑣𝑀  the plastic strain range, the 

temperature and the von Mises stress. Thus, the increment in 

the total damage 𝐷 accumulated can be calculated from 
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For fatigue damage, the equation proposed by Lemaitre and 

Chaboche19 for the damage evolution of intergranular fatigue 

cracking based on thermodynamic principles, which 

considers the effects of non-linear damage accumulation and 

multiaxial stress, is used here. For creep damage, the 

Rabotnov-Kachanov equation is used, with the multiaxial 

factor also taken into consideration. Eq. (3) may thus be 

specifically given as 
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where the multiaxial factor, 𝑅𝑣, is defined as 
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In Eqs. (4) and (5), Δ휀𝑝, is the plastic strain range, 𝜎ℎ𝑦𝑑 

is the hydrostatic pressure, 𝜐  is the Poisson ratio and 

rααγ ,,,,Ω 21
 and 𝜆  are the material parameters. 

CDM-based viscoplastic model 

Wang et al. (2015) refined the Chaboche-Nouailhas model 

through: (1) the use of two inelastic strain rates, one for high 

stress and the other for low stress; (2) the use of Ohno-wang 

kinematic hardening variables (Ohno and Wang, 2005) to 

better illustrate the ratcheting behavior; (3) the introduction 

of damage parameters to describe the tertiary creep; and (4) 

the nonlinear superposition of damage from creep and 

fatigue. Although the experimental data validate most of the 

stress-strain behavior, the separate calculation of creep and 

fatigue damage in the model (CNOW model) overlooks their 

interaction. Thus, the present study improves the 

methodology of damage calculation in the CNOW model 

using CDM.  

To achieve a more accurate description of creep behavior, 

creep is represented by the sum of the two inelastic strain 

rates: 1) under creep-fatigue loading, creep is dominated by 

the diffusion mechanism for low stress; 2) for high stresses, 

creep is controlled by the dislocation mechanism. Hence, to 

emphasize the creep-fatigue-interaction damage behavior, the 

influence of the previous total accumulated damage on the 

subsequent calculation of inelastic strain is considered. The 

improved model is given by 
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where i = 1 and i = 2 denote the inelastic strain rates for high 

and low loading, respectively, 𝜎 ′̿ is the deviator of the stress 

tensor �̿� , �̿�𝑖
′ is the deviator of the back stress tensor 𝑋𝑖, 

𝐽2 (�̿� − �̿�𝑖
̿̿ ̿̿ ̿̿ ̿̿ ) is the von Mises stress, 𝑘𝑖 is the initial yield 

stress, 𝑅𝑖is an isotropic hardening variable, 𝐾𝑖 is a material 

parameter and 𝐷 is defined as in Eq. (4).  

In addition, both of the yield conditions are defined as 
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The effect of total damage accumulation on each back stress 

variable is fully taken into account, 
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where 𝑎1𝑗 , 𝑐1𝑗 , 𝑚1𝑗, 𝑚𝑚1𝑗 , 𝛽1𝑗  and 𝑎2𝑗 , 𝑐2𝑗, 𝑚2𝑗 , 𝑚𝑚2𝑗, 𝛽2𝑗  

are the material parameters, 𝐷 is defined as in Eq. (4), �̿�1𝑗 

and �̿�2𝑗 are the parts of the total back stress for fatigue and 

creep behavior, respectively, Nj ,2,1  and N is the 

number of additive components in the kinematic hardening. 

Ringel et al. (2005) used NN = 6 for fatigue behavior and NN 

= 3 for creep behavior.  

In addition, Ri with total accumulated damage can be 

calculated as 
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where 𝑏𝑖 , 𝑠𝑖  and 𝛾𝑖  are the material parameters obtained 

from the experimental material data, 𝑄𝑖 is the limit of the 

isotropic change in strength, 𝑄𝑟𝑖 is the recovery from 𝑄𝑖 

and 𝐷 is defined as in Eq. (4). 

The mathematical model is solved in implicit form to 

improve the calculation stability and satisfy the time step 

change requirement. The viscoplastic model is implemented 

in ABAQUS as a subroutine to describe the deformation and 

the damage behavior under creep-fatigue loading. 
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Heat transfer model 

Transient heat transfer between the rotor and steam is 

determined by the third boundary condition, which uses the 

heat transfer coefficient and steam temperature. Although the 

rotor is exposed to the hot steam, different heat transfer 

coefficients and steam temperatures are applied to different 

surface regions (Fig. 1(a): seal structure, rotor surface and 

blade groove). The heat transfer coefficients are calculated as 

follows. 

Firstly, the heat transfer coefficient at the sealing location 

is calculated by, 
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where  𝛿 is the seal clearance, 𝜔𝑠 is the axial length of the 

seal, 𝐴 is the leakage area, M is the steam leakage and 𝜇 is 

the steam dynamic viscosity. 

Secondly, the heat transfer coefficient at the rotor surface 

is obtained by, 
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where 𝑟0 is the rotor half diameter, 𝜆  is steam thermal 

conductivity, 𝜔 is the rotating speed of the rotor, 𝜈 is the 

steam kinematic viscosity, 𝑐𝑝is specific heat. 

For heat transfer coefficients at the blade groove: 

considering the contact between the blade and blade groove 

during the rotor rotation, we assume that all heat flux due to 

the convective heat transfer between the blade and the steam 

is conducted into the rotor through the contact surfaces, thus 

at the present study the heat flux into the blade groove is 

dealt with as an equivalent heat transfer boundary (Fig. 1(b)). 

Firstly, the heat transfer coefficients in the equivalent heat 

transfer boundary is calculated by, 

 
Figure 1 Sketch map of heat transfer between 

steam and rotor 
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where l is the pipe length, f is the resistance coefficient where 

𝑓 = (1.82 ∙ 𝑙𝑔𝑅𝑒 − 1.64)−2 , and 𝑑𝑒 is the hydraulic 

diameter. Subsequently, the heat transfer at the contact 

surfaces (Fig. 1(c): lines in red, blue, pink and green) is 

defined as third boundary condition and linked to the heat 

transfer coefficient by Eq. (14). Thus, the heat transfer 

coefficients are calculated for each region by, 
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where r, 𝑟1, 𝑟2, 𝑟3, 𝑟𝑤 , 𝐵, 𝑙1, 𝑙2 are sizes of the geometries, and 

𝐴1, 𝐴2, 𝐴3, 𝐴4  are calculated by: 𝐴1 = 2𝜋𝑟(𝐵 − 𝑙1), 𝐴2 =
2𝜋𝑟2𝑙1 , 𝐴3 = 2𝜋𝑟𝑤(𝑙2 − 𝑙1) , and 𝐴4 = 2𝜋𝑟3𝑙2 . Steam 

properties are determined by IAPWS-IF97 equations based 

on steam pressure and steam temperature.  

During the condensation phase, water film on the rotor 

and blade surfaces enhances the thermal resistance and the 

variation in the film thickness is also taken into account, thus 

the condensation heat transfer coefficient is calculated by, 
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where k is empirical coefficient, 𝜙  is latent heat, 𝜌 is the 

density of saturation water, 𝑇𝑠𝑎𝑡  and 𝑇𝑤  are saturation 

temperature (corresponding to the local steam pressure) and 

wall temperature. 

RESULTS AND DISCUSSION 

Validation of the constitutive model 

A standard specimen and a hollow cylinder were used 

for the uniaxial and multiaxial creep-fatigue tests, 

respectively. The CDM-based viscoplastic model presented 

in this paper was programed into the finite element 

commercial package ABAQUS by UMAT code to 

numerically investigate the material behavior under the same 

test conditions. The results of the measurement and the 

simulation were compared to validate the model. The 

validated model was then used to simulate the creep-fatigue-

interaction behavior of the rotor under iterations of the 

continuous startup-running-shutdown phase. 

Before examining the creep-fatigue behavior of the 

rotor, the simulated and measured results were compared to 

validate the model. The experimental creep data at 

temperatures of 550°C, 600°C and 625°C and under different 

loading conditions were used to calibrate the viscoplastic 
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model. The tested material was a ferritic-martensitic stainless 

steel of type X12CrMoWVNbN10-1-1. An overview of the 

testing conditions for calibration and validation is listed in 

paper (Wang et al., 2015), and specific validation and 

calibration were carried out by authors in paper (Wang et al., 

2015). Comparison of the simulated and measured results, 

the material model actually has a good ability to predict the 

uniaxial and multiaxial strain-stress behavior, especially for 

fatigue behavior. 

FE modelling and Thermo-mechanical loading 
conditions  

Fig. 2(a) displays the boundaries of the mechanical and 

thermal loads acting on the rotor, and the mesh of the rotor is 

shown in Fig. 2(b). The sensitivity of the simulation results 

to the grid density is checked by repeating the computations 

with a CAX8RT type cell. There are 11,759 computational 

elements. The mechanical loads are generated from the 

rotating speed -related blade centrifugal forces and the rotor 

gravity. The thermal loads are caused by the thermal 

gradient, which is influenced by the different temperatures in 

the rotor. The blade centrifugal force and the geometry of the 

rotor are given by the turbine manufacturer. Figs. 2(c)-(e) 

display the curves of one iteration of the startup-steady state 

operation-shutdown phase. The comparative study of dwell 

time’s effects on the rotor behavior is conducted in terms of 

periods of 1 month per iteration (Cond1) and 4 months per 

iteration (Cond2), respectively. For these two cases, the 

startup (Fig. 2(c)) and shutdown (Fig. 2(e)) phases retain the 

same variation, the only difference being the time length of 

the steady state operation phase (Fig. 2(d)). 

 
Figure 2 (a) Geometry, (b) mesh of the rotor in the high-

temperature zone; normalized temperature curves and 

rotation speeds for the (c) startup, (d) running and (e) 

shutdown phases 

Dwell time’s effects on rotor behavior due to 
thermal load 

Zone of inlet notch is located in the highest temperature 

environment. This place would sustain a larger thermal 

gradient during startup and shutdown phases and creep 

behavior also could be significant during the steady state 

operation. Thus, von Mises stress 𝜎 is extracted firstly at the 

inlet notch to generally display the difference in the rotor 

behavior between Cond1 and Cond2, and the results are 

shown in Fig. 3. With the exception that 𝜎 during the first 

startup and the steady state operation phases of Cond1 has 

the same evolution to the results of Cond2, 𝜎 of Cond2 

always retains a lower value than that of Cond1 within the 

subsequent steady state operation and shutdown phases, but a 

larger peak value than that of Cond1 within the subsequent 

startup phase. For Cond1, the stable 𝜎 during the steady state 

operation starts a significant increase after t = 150 day until t 

= 300 day. This could be the void nucleation which narrows 

the effective load carrying area but not forms the 

microcracks. Thus, based on ）（ Dσσ -1/~ : σ~  is 

nominal stress, void nucleation in the structure would induce 

the increase of 𝜎. After t = 300 day, microcracks would be 

generated at the local structure, accelerate the accumulation 

of the damage and further lead to a fast drop in 𝜎 until the 

failure. For Cond2, the general view on the evolution of 𝜎 

during the steady state operation phase of all iterations 

exhibits a gradual increase until failure, and the maximum 𝜎 

during the startup displays the slow decrease.  

 
Figure 3 Comparison of the stress evolution between 

Cond1 and Cond2: Cond1 (1 month per iteration) and 

Cond2 (4 months per iteration) 

Fig. 4 displays the variation in the temperature field of 

the rotor during a startup phase. At the beginning of this 

startup phase, a large amount of heat energy is released due 

to the condensation of hot steam into water film as it touches 

the cold rotor surfaces. Then the rotor surfaces immediately 

absorb the heat energy, rapidly increasing the local 

temperature. This rise in the temperature at the rotor surface 

happens faster than it does for the internal metal. Next, the 

condensed water film starts to evaporate, but the surface 

temperature reaches and maintains the saturation 

temperature. However, heat conduction in the rotor continues 

to increase the temperature of the internal metal. Thus, the 

initial temperature field displays a significant radial 

distribution in the rotor (Fig. 4(a), t = 1 h). Subsequently, 

heat conduction gradually increases the temperature in the 

rotor. Finally, the temperature field changes from a radial 

distribution to an axial distribution (Fig. 4(d), t = 13 h). 

 
Figure 4 Contour of temperature during the first startup 

phase 

The thermal stress is proportional to the temperature 

gradient, thus, temperature and temperature difference are 

plotted in Fig. 5 to illustrate the development of the thermal 

gradient. Three phases can be distinguished in the figure: 

condensation (0-1 h), large amount of steam flux (1-2 h) and 
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elevated temperature (2-13 h). As Fig. 5(b) shows: the 

maximum temperature difference reaches 232°C at t = 0.18 

h, and then significantly decreases until t = 1 h to 173°C. 

From t = 1 h to t = 2 h, the temperature at the rotor surfaces 

increases again due to the enhanced heat transfer between the 

steam and the rotor surfaces. The maximum temperature 

difference reaches 241°C at t = 1.2 h. After t = 2 h, with the 

increase in the steam temperature and the continuous heat 

conduction, the maximum temperature difference gradually 

decreases. 

 
Figure 5(a) Temperature evolution at the rotor surface 

and the rotor center and (b) evolution of temperature 

difference during a startup phase 

The evolution of thermal stress at the inlet notch during 

the startup phase is plotted in Fig. 6. The variations in 

thermal stress during the startup phase can also be divided 

into three phases that are consistent with those of the 

temperature difference, and the largest alternating stress 

amplitude is found in the condensation phase. To further 

demonstrate the dwell time’s effects, the evolution of the 

peak stresses at Point A (condensation) and Point B (large 

amount of steam flux) (shown in Fig. 6) are respectively 

shown in Figs. 7(a) and (b). As seen from Fig. 7(a), 𝜎 of 

Cond1 at Points A and B rapidly decreases, with an 

especially sharp descent after t = 200 day. This could be the 

above-mentioned decrease of the load carrying area due to 

the void nucleation for Cond1. Fig. 7(b) illustrates that the 𝜎 

of Cond2 at Points A and B gradually decreases without a 

sudden drop.  

 
Figure 6 Evolution of stress at the rotor surface during a 

startup phase 

 
Figure 7 (a) Evolution of the peak stress during a 

condensation phase (Point A shown in Fig. 7), and (b) 

evolution of the peak stress during a large amount of 

steam flux phase (Point B shown in Fig. 7) during the 

whole iterations 

Figs. 8 and 9 show the creep and fatigue damage, 

respectively, at the inlet notch. Three time points (a), (b) and 

(c), as shown in Fig. 3, are chosen for the present study. Fig. 

8 shows that 𝐷𝑐  of Cond1 at three time points is always 

larger than that of Cond2. Fig. 9 displays the fatigue damage 

𝐷𝑓  when the rotor fails. 𝐷𝑓  of Cond1 due to fatigue 

behavior is much larger than that of Cond2, reaching 0.32, 

whereas 𝐷𝑓 of Cond2 at the inlet notch is only 0.03. Both 

figures indicate that the reduction in the dwell time length 

results in the increase in both creep damage and fatigue 

damage. In addition, Fig. 10 exhibits the evolution of the 

total damage, and illustrates a sharp increase in the total 

damage of Cond1 at the last three iterations, which leads the 

inlet notch of the rotor to fail. However, the total damage of 

Cond2 maintains gentle growth at the inlet notch with no 

failure.  

 
Figure 8 Comparison of the creep damage between 

Cond1 and Cond2 at time points (a), (b) and (c), as shown 

in Figure 3 

 
Figure 9 Comparison of the fatigue damage between 

Cond1 and Cond2 

 
Figure 10 Comparison of the evolution of total damage 

between Cond1 and Cond2 

 Our analysis of the creep-fatigue-interaction behavior 

at the inlet notch indicates that the reduction in the dwell 

time length significantly accelerates the total damage. At the 

inlet notch zone, the structure mainly sustains the thermal 

stress, furthermore the complex structure easily leads the 

stress to the concentration. Strength of this location could be 

much more sensitive to the fatigue behavior. Thus, during the 

creep-fatigue-interaction behavior, the reduction in the dwell 

time length would increase the possibility of the component 

failure due to fatigue damage. 

Dwell time’s effects on rotor behavior due to 
thermo-mechanical load 

Fig. 11 displays the development of 𝜎  at the blade 

groove during the first stage for both cases. Similarly, with 
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the exception of the superposition of 𝜎 in both cases at the 

first startup and steady state operation phases, 𝜎 of Cond2 

within the subsequent steady state operation phases has a 

lower value compared to that of Cond1. For Cond1, before t 

= 300 day, the gradual decrease in 𝜎 of the rotor displays 

the cyclic softening behavior due to the form, nucleation and 

growth of the cavity inside of the rotor. After t = 300 day, the 

microcrack at the rotor surface might narrow the effective 

cross-sectional area for carrying loads. The thermal loads 

that arise from the temperature difference, together with the 

blade centrifugal forces caused by the rotation of the rotor, 

act on the rotor and change 𝜎. When the effective area for 

carrying loads decreases and the thermo-mechanical loads 

remain invariant, the local 𝜎 starts to increase. As Fig. 11 

shows, after t = 300 day, 𝜎 at the three phases (startup, 

steady state operation and shutdown) exhibits growth trends, 

prompting an increase from 492 to 559 MPa (I: startup 

phase), from 212 to 311 MPa (II: shutdown phase) and from 

169 to 194 MPa (III: steady state operation phase). For 

Cond2, the gradual decrease in the maximum 𝜎 of the rotor 

during the startup phase displays the cyclic softening 

behavior. In particular, after t = 400 day, a significant drop in 

the maximum 𝜎 illustrates that the damage quickly weakens 

the load carrying capability at the blade groove of the rotor 

during the first stage until failure. As Fig. 11 reveals, the 

maximum 𝜎 at the startup phase decreases from 495 to 421 

MPa after the last three iterations. 

 
Figure 11 Comparison of the stress between Cond1 and 

Cond2 at the blade groove in the first stage 

Fig. 12 plots the damage evolutions of both cases at the 

blade groove, and shows the faster increase in the total 

damage of Cond2. After t = 500 day, the acceleration of the 

total damage induces rotor failure. Fig. 12 also shows that the 

total damage of Cond2 exceeds that of Cond1 after t = 200 

day, although the location experienced 7 iterations of startup-

steady state operation-shutdown phases for Cond1. In fact, 

the high rotating speed 𝜔-related blade centrifugal force 

plays the key role in the creep-fatigue-interaction behavior, 

extending dwell time length would increase the contribution 

of creep behavior to the total damage.  

 
Figure 12 Comparison of the total damage between 

Cond1 and Cond2 at the blade groove in the first stage 

Figs. 13 and 14 display the total damage for both cases at 

time points (a), (b) and (c), as shown in Fig. 3. In Fig. 13, the 

labyrinth seal is located in zone (I) to suppress the steam 

leakage flow from the high to the low pressure regions. An 

instructive impression of the leakage fluid flow can be 

gained through the streamline patterns plotted in Fig. 16(I). 

Clearly, the similarities in the flow patterns of all of the seal 

cavities is quickly reached, as shown in Fig. 13(I). A series 

of recirculation zones forms along the serpentine flow paths. 

Correspondingly, the sudden deflection of the main fluid is 

closely related to leakage resistance. Fig. 13(I) demonstrates 

that deflecting the jet flow through the clearance results in 

vena contraction, which decreases the effective flow area. 

Accordingly, part of the pressure head is transformed into 

local kinetic energy, which is dissipated into heat in the 

downstream cavity. Thus, the steam pressure decreases along 

the labyrinth seal and the stagnation enthalpy remains 

constant. Finally, the temperature reflects the decrease along 

the labyrinth seal based on the steam properties of IAPWS-

IF97. Hence, the temperature along the rotor surface also 

gradually decreases, generating significant thermal stress due 

to the temperature difference. A comparison of the creep 

damage between Cond1 and Cond2 at three time points 

reveals that fatigue behavior due to frequent startups and 

shutdowns (Cond1) accelerates the creep damage in zone (I), 

such that the damage area of Cond1 is larger than that of 

Cond2. In Fig. 14, the creep behavior obviously consumes 

the creep-fatigue-interaction lifetime. As the figure indicates, 

the high rotating speed of the ω -related centrifugal force 

due to the balance piston, and the temperature difference in 

this location, generate the thermo-mechanical loads. Thus, 

the creep damage of Cond2 is more significant than that of 

Cond1. 

 
Figure 13 Comparison of the creep damage between 

Cond1 and Cond2 at time points (a), (b) and (c), as shown 

in Figure 3; and (I) the sketch geometry of the selected 

labyrinth seal location 

 
Figure 14 Comparison of the creep damage in the 

selected zone between Cond1 and Cond2 at time points 

(a), (b) and (c), as shown in Figure 3 

Fig. 15 plots the stress evolution before and after the 

balance piston. As Fig. 15(a) shows, for Cond1, the peak 𝜎 

during the startup phases exhibits more significant cyclic 

softening behavior. In addition, the evolution of 𝜎 during 
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the steady state operation phase and shutdown phase has 

same trend – slight growth. This indicates that the damage 

due to the cavity nucleation or growth prompts a slight 

reduction in the effective load carrying area. For Cond2, the 

evolution of 𝜎 within each steady state operation exhibits 

the same creep behavior, and the peak 𝜎 of each shutdown 

phase almost has the same value. This suggests that the 

influence of the damage on the development of 𝜎  is 

insignificant.  

 
Figure 15 Comparison of the stress evolution between 

Cond1 and Cond2: (a) before and (b) after the balance 

piston 

 
Figure 16 Comparison of the total damage evolution 

between Cond1 and Cond2: (a) before and (b) after the 

balance piston 

 

Finally, Fig. 16 displays the total damage for both cases 

before and after the balance piston. As shown in Fig. 16(a), 

the total damage of Cond1 develops faster than that of 

Cond2. In the final stage, the 𝐷 values of Cond1 and Cond2 

reach 0.12 and 0.07, respectively. In Fig. 16(b), although this 

place is located in the low temperature environment 

(<500°C), the thermal loads prompted by the temperature 

difference and the balance piston centrifugal force resulting 

from the rotor’s rotation act on this place, creating the total 

damage to the significant increase. Similar to the damage 

evolution at the blade groove in the first stage, with the 

increase in the dwell time length, the total damage of Cond2 

exceeds that of Cond1 after t = 100 day, and then gradually 

increases until the rotor reaches failure. The 𝐷 values of 

Cond1 and Cond2 after the balance piston reach 0.14 and 

0.19, respectively.  

The above-mentioned analysis indicates that under the 

thermo-mechanical loads, with the increase in dwell time 

length, the total damage due to the creep-fatigue-interaction 

behavior might develop faster, so that creep behavior 

dominates the evolution of the total damage. 

CONCLUSIONS 

The CDM-based viscoplastic material model described in 

this study was implemented in a UMAT subroutine. Tests of 

the uniaxial and multiaxial stress-strain behavior were 

conducted under different temperatures and loading 

conditions to validate the material model’s performance. The 

comparison of the simulated and measured results shows 

fairly good agreement. A comparative study of dwell time’s 

effects on the creep-fatigue-interaction behavior of a steam 

turbine rotor was conducted.  

During the startup phase, the thermal stress at the inlet 

notch of the steam turbine rotor went through three phases: 

condensation, large amount of steam flux and elevated 

temperature. The thermal stress at the inlet notch was 

sensitive to the dwell time length. When it decreased, the 

drop in the thermal stress during the condensation and large 

amount of steam flux phases was more significant. 

Moreover, a reduction in the dwell time length made failure 

at the inlet notch zone due to creep-fatigue-interaction 

behavior much more probable. Finally, within the 13th 

iteration of the startup-steady state operation-shutdown 

phase, the inlet notch of Cond1 failed. A comparison of the 

total damage between Cond1 and Cond2 at the inlet notch 

disclosed that the reduction in the dwell time length 

accelerated the effect of the fatigue behavior on the 

development of the total damage. Thus, at the inlet notch 

zone, which was dominated by the thermal stress, the 

reduction in the dwell time length may have accelerated the 

lifetime consumption. 

In the blade groove, both thermal and mechanical loads 

acted on the rotor. The damage reduced the effective load 

carrying area, and the thermo-mechanical loads remained 

invariant, thus both factors may have induced an increase in 

the local stress, which might have accelerated the damage 

evolution. When the dwell time length increased, the high 

rotating speed 𝜔-related blade centrifugal force played a key 

role in the creep-fatigue-interaction behavior, accelerating 

the development of the total damage. Extending the dwell 

time length should increase creep behavior’s contribution to 

the total damage.  

The final investigation of the creep-fatigue-interaction 

behavior before and after the balance piston further 

demonstrated that the thermal stress-dominated location 

(before the balance piston) was more prone to failure with a 

decrease in the dwell time length, whereas the thermo-

mechanical load-dominated location (after the balance 

0 100 200 300 400 500 600 700 800
0.00

0.05

0.10

0.15

0.20

D
 /

 T
o

ta
l 

D
am

ag
e

t / day

 Cond1  Cond2

0 100 200 300 400 500 600 700 800
0.00

0.05

0.10

0.15

0.20

D
 /

 T
o

ta
l 

D
am

ag
e

t / day

(a)

(b)



9 

piston) was more prone to damage with an increase in the 

dwell time length. 
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